Inelastic response of extended pile shafts subjected to liquefaction-induced lateral spreading is investigated using nonlinear dynamic analyses (NDA) covering a range of soil, pile and ground motion conditions. Each soil-structure scenario was analyzed for three cases: a baseline case with soil liquefaction and superstructure inertia; a case with liquefaction, but without superstructure inertia (i.e., superstructure mass removed); and a case without liquefaction (i.e., pore pressure generation eliminated), but with superstructure inertia. Results show that the combined effects of lateral spreading and superstructure inertia produce larger demands (often by more than 50%) than are produced by either loading case alone, such that the combined demand cannot be enveloped by analyzing the two load cases separately. The results of these parametric analyses provide a database that is used in subsequent development of an equivalent static analysis (ESA) design procedure.
INTRODUCTION
Experience has shown that liquefaction induced lateral spreading can be a major cause of damage to bridge foundations during earthquakes (e.g., JGS 1996) . Studies of the response of pile foundations and pile-supported structures in liquefiable soils using physical models, numerical models, and case studies have provided the basis for a number of design recommendations (e.g., Tokimatsu and Asaka 1998 , Martin et al. 2002 , Dobry et al. 2003 , Tokimatsu 2003 , Liyanapathirana and Poulos 2005 , Rollins et al. 2005 , Cubrinovski and Ishihara 2006 ). The guidance is, however, quite varied regarding how lateral spreading and superstructure inertial loads should be combined in design. The Transportation Research Board (2002) suggests that the peak lateral spreading loads occur at the end of shaking when ground displacements are largest and that they are not simultaneous with inertial loads. On the other hand such studies as Brandenberg et al. (2005) , Tokimatsu et al. (2005) , and Chang et al. (2006) have shown that inertial and lateral spreading forces act intermittently in-phase and out-of-phase. Brandenberg et al. (2007) states that the assumption of lateral spreading forces acting simultaneously with structure inertia forces is most reasonable for the stiffer pile foundations, but slightly conservative for more flexible pile groups. This variable guidance may partly be attributed to the relatively limited quantity of experimental data describing the phasing of lateral spreading and superstructure inertia loads.
Large-diameter extended pile shafts can be an effective bridge foundation choice for areas subjected to lateral spreading because they offer greater stiffness and strength relative to the magnitude of lateral spreading loads that can develop against them. A limited degree of plastic hinging below the ground surface may be allowable in design of extended pile shafts (e.g., Caltrans 2006 and ATC-32 1996) . Issues for design for extended pile shafts include: (1) how to estimate the demands due to superstructure inertia and lateral spreading in liquefied soils, and (2) how to combine these two loads in estimating the local and global inelastic demands on the structure.
This study investigates the inelastic behavior of large diameter extended pile shafts subjected to earthquake shaking and liquefaction-induced lateral spreading through a series of nonlinear dynamic finite element analyses (NDA) covering a range of soil, pile and ground motion conditions (Figure 1a ). Analyses are repeated for three loading cases to obtain insight on the relative contributions from lateral spreading and superstructure inertia to the local and global demands on the structure: a baseline case with soil liquefaction and superstructure inertia, a case with liquefaction but without superstructure inertia (i.e., superstructure mass removed), and a case without liquefaction (i.e., pore pressure generation eliminated) but with superstructure inertia. The finite element (FE) model, its components, and the range of conditions covered by these parametric analyses are described first. The NDA results are then used to examine the contributions of lateral spreading and superstructure inertia loads to the system demands, and to examine the degree to which these load cases may or may not be decoupled. The results of these parametric analyses provided a database which was subsequently used for development of an equivalent static analysis (ESA) design procedure (Khosravifar 2012) .
NONLINEAR DYNAMIC FINITE ELEMENT ANALYSIS FE MODEL
The finite element (FE) model was created in the OpenSees FE platform (Mazzoni et al. 2009 ). The model includes: (1) a 2-D soil column to simulate the far-field soil behavior, (2) a reinforced concrete (RC) pile shaft, and (3) soil interface springs to connect the far-field soil column to the pile (Figure 1b ).
Modeling in two dimensions instead of three dimensions has the advantage of greatly reducing the computational time, simplifying the interpretation of responses, and enabling a broader parametric study. The inclusion of soil springs between the pile shaft and the twodimensional (2-D) soil mesh allows for large relative displacements between the soil and the pile, and thus approximates the three-dimensional (3-D) effects of soil being able to deform around the pile shaft. Limited comparisons of 2-D and 3-D analysis results using OpenSees models indicate that the two responses are similar if the load transfer across the soil springs in the 2-D model is similar to that in the 3-D model (Khosravifar 2012) . The current study varies the soil and soil spring properties such that the results are expected to provide a reasonable assessment of how inertial and lateral spreading loads combine for a range of lateral spreading forces.
The components of the numerical modeling approach used herein have been validated against various experiments by a number of researchers. The numerical modeling approach (e.g., same constitutive models, p-y springs, and beam-column elements, all in OpenSees, with similar numerical solution procedures and only slight differences in the material calibration procedures) used for the soils and soil springs were validated against results of centrifuge model tests of elastic structures supported on elastic single piles and pile groups in level and inclined soil profiles that liquefied during strong shaking (e.g., Boulanger et al. 1999 , Chang et al. 2006 . These studies showed the capability of the soil models to reasonably capture pore-water-pressure build-up and liquefaction in loose sand. They also showed that the use of specific soil springs that update the soil properties to pore-water-pressure (described in next sections of this chapter) provides means to capture first-order interaction between the pile and the near-field liquefied soil. The results by Chang (2007) indicated that various measures of dynamic response for the range of structure types and shaking motions covered by the centrifuge experiments were generally predicted within a factor of 2, and that the observations regarding the timing and phasing of critical load combinations were consistently in agreement with the centrifuge experiments. The modeling approach used for representing inelastic pile shafts have been validated against field-and component-scale tests by a number of other researchers (e.g., Hutchinson et al. 2004) . Despite these previous validation efforts, it would be valuable to perform centrifuge experiments involving inelastic response of large diameter piles in combination with the effects of liquefaction and lateral spreading.
The parametric analyses presented herein cover a range of pile, soil, and ground motion conditions, as summarized in Table 1 (variables are shown on Figure 1 ). A total of 41 parametric models was used, with each model subjected to 49 ground motions, described later. In addition, each analysis was performed for three different loading cases, also described later, for a total of over 6,000 analyses.
SOIL ELEMENTS AND MODELS
The soil profile consists of a clay crust layer having a range of undrained shear strengths (S u ¼ 20 kPa to 100 kPa) and thicknesses (3 m to 7 m), overlaying a liquefiable sand layer having a range of standard penetration test (SPT) corrected blow counts [ðN 1 Þ 60 ¼ 5 to 35] and thicknesses (1 m to 5 m), overlying a nonliquefiable dense sand layer [ðN 1 Þ 60 ¼ 35]. The 2-D soil column is modeled using quadrilateral UP elements which have 9 nodes with translational degrees-of-freedom (DOF) and four nodes with pore-water-pressure DOFs. The soil profile is discritized into 0.5 m-high elements. The out-of-plane dimension of the plane-strain soil column was set to 500 m which was found to be sufficiently large to ensure that the soil column response was unaffected by the existence of the pile; that is, the soil column response represented a far-field response. The nodes on opposite sides of the soil column are slaved together to impose pure-shear, plane-strain conditions.
Two soil constitutive models developed by Yang et al. (2003) are used: pressuredependent-multi-yield (PDMY02) model for sands and pressure-independent-multi-yield (PIMY) model for clays. The yield criteria in these two models are described by a number of cone shape surfaces. The flow rule for PDMY02 is non-associative to allow simulation of contraction and dilation, whereas the flow rule for PIMY is associative. Model parameters for the present study are selected based on calibration of direct simple shear (DSS) element responses to common design correlations. For example, shear modulus reduction (G∕G max ) and equivalent damping ratio relationships in drained cyclic DSS simulations are shown on Figure 2 for sand with ðN 1 Þ 60 ¼ 5 along with the relationships recommended Figure 3 . The model was primarily calibrated to trigger liquefaction (i.e., 3% single-amplitude shear strain) in 15 cycles at the CRR proposed by Idriss and Boulanger (2008) for the selected ðN 1 Þ 60 values for the idealized soil profile. The CSR versus number of uniform loading cycles to cause 3% single-amplitude shear strain (which generally coincides with r u reaching its maximum value of 100%) in undrained cyclic DSS simulations is shown on Figure 4 . The model is also calibrated to accumulate reasonable post-liquefaction shear strain based on comparisons to typical responses in the literature. It was found, however, that the calibrated model for the ðN 1 Þ 60 ¼ 5 case showed stronger post-triggering strain hardening than is observed for many very loose sands in the laboratory, such that the posttriggering strain accumulation per cycle shown in Figure 3 is smaller than might be expected for typical very loose sands. A consequence of this is that the model may produce higher post-liquefaction accelerations and superstructure inertia for this loose sand condition if the 
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level of shaking stays high after triggering of liquefaction; the possible effects of this limitation for very loose sands warrants examination in future studies. For the clay layer, the PIMY model approximates the G∕G max and equivalent damping ratio relationships recommended by Vucetic and Dobry (1991) for clay with a plasticity index of about 35. The model parameters for both soil models are summarized in Table 2 . Detailed explanations for each parameter and how they affect the model response are given in Yang et al. (2003 Yang et al. ( , 2008 and are not repeated here for brevity.
The soil column was first subjected to constant gravity force to produce hydrostatic pore water pressure, initial effective stress, and K o conditions. A constant shear stress was also applied to the soil elements to simulate sloped ground. Then the pile was attached to the soil elements using soil springs followed by applying the superstructure dead load and the shaft's self-weight. The pile gravity loads are transferred to the soil through sleeve friction and tip bearing resistance. The analysis proceeded by shaking the model with uniform excitation (equivalent to a rigid base motion).
For analyses of nonliquefaction cases (as described later), the contraction and dilation parameters for PDMY02 were set to 0. This precluded any generation of excess pore pressures, without affecting the calibrated secant shear modulus and equivalent damping ratio behaviors.
PILE ELEMENTS AND MODELS
The extended pile shaft studied herein is a Type 1 pile with uniform bending capacity throughout the column (Caltrans 2008) . The RC pile is modeled using displacement-based distributed plasticity beam-column elements that allow for formation of plastic hinge at any depth. The element mesh length was 0.5 m. The RC section is discretized using fiber sections as illustrated in Figure 5 . The RC pile had a range of diameters (1.5 m, 2.0 m, and 2.5 m) with longitudinal steel ratios of 1%, 2%, and 3% and axial load ratios of 0.05f c 0 A g and 0.10f c 0 A g (where f c 0 is the concrete compressive strength, and A g is the column cross-sectional area). Concrete compressive strengths of 44.8 MPa and 28 MPa were considered. Confined and unconfined concrete stress-strain behaviors are defined following models suggested by Mander et al. (1988) and Caltrans (2006) . Longitudinal steel bars are modeled using yield strength of 475 MPa, elastic modulus of 200 GPa and 3% strain hardening ratio. The deck is modeled as a lumped mass with P-Δ effect included. The pile-to-deck connection is modeled as both free against rotation (i.e., pinned connection between pile head and superstructure; no moment transferred to pile head) and fixed against rotation (i.e., zero rotation at In particular, the friction angles, shear strengths and shear moduli must be converted from the stress-strain space used in conventional practice to the octahedral stress-strain space used in the constitutive model. pile head). The moment-curvature response of a 2 m-diameter section with 2% longitudinal steel area ratio and 10% axial load ratio is shown in Figure 5 . Different damage stages are identified on the figure to illustrate the progress of plastic hinge formation.
The FE computed curvature in the RC pile is mesh-dependent due to local softening, whereas the FE computed rotation in the plastic hinge was shown to be mesh-independent. Therefore, the curvature in any plastic hinge was computed by dividing the rotation by the equivalent plastic hinge length recommended by Chai and Hutchinson (2002) : E Q -T A R G E T ; t e m p : i n t r a l i n k -; e 1 ; 4 1 ; 3 1 1
where L p is the equivalent plastic hinge length, L a is the above-ground height, and D is the pile diameter. Other equations are available (e.g., Budek et al. 2000 , Caltrans 2006 ) for estimating equivalent plastic hinge length as a function of pile diameter, above ground height, soil subgrade reaction, pile bending stiffness and length of column from the point of maximum moment to the point of contra-flexure. A comparison between some of these methods is provided in Chai and Song (2003) . For the range of conditions considered in this study the equivalent plastic hinge length calculated from different equations were very close (i.e., 2.6 m to 3 m for a 2 m-diameter pile and 10 m above ground height). Although the presented curvature ductility values (calculated from dividing the rotation from FE analysis by equivalent plastic hinge) are inversely proportional to the length of plastic hinge, they do not affect the final conclusions on how inertia and kinematic demands combine.
SOIL INTERFACE ELEMENTS
The pile elements are connected to the far-field soil elements using horizontal (p-y), vertical (t-z), and bearing (q-z) springs. These soil springs are made from elastic, plastic, gap and dashpot components (Boulanger et al. 1999 ) and allow for large relative displacements between the far field soil column and the pile. The soil spring parameters were selected based on API (1993) recommendation; however, the stiffness of the p-y elements at larger depths were modified using the relationship recommended by Boulanger et al. (1999) to account for overburden effective stress (i.e., API stiffness is multiplied by ( ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi 50 kPa∕σ 0 v p ). A transition zone of 1.0 pile diameter length has been implemented in the soil springs of the top of the nonliquefied layer to account for the weakening effect the liquefying layer exerts on the underlying nonliquefied layers (e.g., Yang and Jeremic 2002) .
The p-y and t-z springs in the sand layers were represented with PYliq1 and TZliq1 material models, which update their capacity and stiffness based on the adjacent soil elements' mean effective stress. These soil springs simulate the transient loss of stiffness and strength due to excess pore pressure generation in the far-field soil, as illustrated by the example responses in Figure 6 for nonliquefied and liquefaction conditions. The spacing between soil springs can affect the pile response because the springs are the only means of load transfer between soil and pile. The p-y and t-z springs in this study were spaced at 0.5 meter intervals which was found through sensitivity studies to be refined enough to not affect the pile response for the range of pile diameters and soil conditions covered by this study.
INPUT MOTIONS
The ground motions included a set of 40 non-scaled time series selected by Baker et al. (2011) to have a median response spectra and standard deviations in spectral ordinates that matched those predicted by Boore and Atkinson's (2008) ground motion prediction equation for an earthquake magnitude of 7, source-to-site distance of 10 km, site shear wave velocity (V S30 ) of 760 m∕s and strike slip earthquake mechanism. Pseudo acceleration response spectra (ARS) for these 40 motions are shown in Figure 7a . A second set of nine non-scaled ground motions were selected to represent a stronger shaking scenario (magnitude 7.5 and other ground motion properties are the same as the 40 motions; Khosravifar 2012) and their ARS is shown in Figure 7b . A third set of motions comprised of the above 49 time series scaled by a factor of 2.0 was used to produce larger inelastic demands in the system.
LOADING CASES
Each soil-structure scenario was analyzed for three different loading cases, as depicted in Figure 8 :
• Case A: This is the baseline analysis of the full structural model, and as such includes the combined effects of liquefaction-induced lateral spreading and superstructure inertia.
• Case B: This is the "nonliquefaction" case wherein excess pore pressures are precluded from being generated in the soil profile. Kinematic effects are small in this case because soil strains are generally small, and thus the demands on the pile shaft are primarily due to the superstructure inertia.
• Case C: This is the "lateral spreading only" case wherein superstructure inertia is eliminated by setting the superstructure and pile masses to zero. Vertical loads on the shaft are kept the same as in Cases A and B, however, to produce the same moment-curvature behavior.
These three analysis cases provide an approximate assessment of the relative contributions of lateral spreading and inertial loading to the overall demands on the structure. This assessment is only approximate because in nonlinear problems, such as studied herein, superposition of solutions does not apply. Therefore, the relative contributions of inertial and lateral spreading loads to the overall demands cannot be analytically decoupled. In addition, the magnitude of the superstructure inertia in the absence of liquefaction is not the same as the magnitude of the inertia with liquefaction, because the triggering of liquefaction affects the dynamic response of the system. Nonetheless, Case B provides a measure of the inertial loads and demands that would develop in the absence of liquefaction which is one of the loading conditions normally considered in design.
SOLUTION SCHEME
The solution technique used in the FE simulations was the KrylovNewton algorithm to solve the system of equations and β-Newmark time integrator with the constant acceleration scheme (i.e., γ ¼ 0.5 and β ¼ 0.25). Rayleigh damping was used for the soil column and RC pile with a damping ratio of 0.5% specified at frequencies of 0.3 Hz and 5 Hz to account for small-strain damping and reduce numerical noise. The viscous radiation dashpots on the p-y springs were assigned a damping coefficient of 4ρDV S with V S taken as 10% of the preearthquake value to account for the effects of liquefaction-induced softening in the soil column.
NDA RESULTS

EXAMPLE DYNAMIC RESPONSE
The computed dynamic response for the Case A analysis of one representative soilstructure system is illustrated in Figures 9, 10 , and 11. This example was chosen because the combination of inertia and lateral spreading produced considerable nonlinear demands in the pile. In this example, the clay crust was 5 m thick and its undrained shear strength was 40 kPa, overlying 3 m-thick liquefiable loose sand with ðN 1 Þ 60 blow count of 5, overlying nonliquefiable dense sand with ðN 1 Þ 60 blow count of 35. The 2 m-diameter RC shaft had a longitudinal steel ratio of 2% and an axial dead load of 14.1 MN exerted by the superstructure (equivalent to 0.10f 0 c A g ). The input motion is the 1999 Chichi earthquake recorded at Station TCU138 with maximum horizontal acceleration (a max ) of 0.2 g. The ground slope was 10%. Figure 9 shows time series of various responses in the soil profile and structure, along with the moment-curvature response in the plastic hinge zone and the p-y response in the middle of the clay crust. Figure 10 shows the distribution of displacements, bending moments, shear forces and soil pressures along the shaft at key times during shaking. Figure 11 shows the ARS for the input, ground surface, and superstructure motions.
The combined effects of inertia and lateral spreading loads on the structures' response for this example are illustrated by following points A, B, and C across the various parts of Figures 9 and 10. These three points occur during one cycle of superstructure motion between about 27 s and 30 s (note that the responses in this time interval are highlighted in blue so they can be followed in the moment-curvature and p-y plots). At Point A, the crust load is at its maximum value in the down-slope direction, the superstructure inertia force is acting in the upslope direction, and the superstructure is displaced a small amount in the upslope direction. The superstructure then begins to move down-slope until it reaches its maximum down-slope displacement at Point B. At this time, the superstructure inertia is at its peak value for this cycle and is equal to 90% of the maximum value that developed over the full duration of shaking. This strong inertial load has pushed the pile shaft forward enough to unload the p-y springs in the crust layer, such that the crust load is nearly zero at Point B. It is noteworthy that going from Point A to Point B, the p-y springs in crust layer are unloaded due to a small reduction in relative displacement between pile and soil, despite the soil absolute displacement being larger than the pile absolute displacement. This behavior is apparent in the p-y curve response on Figure 9 (bottom left) and the typical p-y response shown on Figure 6a . Curvature in the plastic hinge, which formed just below the bottom of the liquefied layer Figure 10 . Profile of displacements, bending moments and shear forces in the pile shaft at different times in the Case A analysis of the representative example. (Figure 10 ), also reached its maximum value of 0.003 rad∕m (ductility of about 2) at Point B. The superstructure then begins to move back toward the upslope direction, accompanied by a progressive reduction in superstructure's down-slope inertia force and an increase in the crust's down-slope load. At Point C, the inertial force has decreased to about 50% of inertia at Point B and the crust load has increased to about 40% of the maximum crust load.
The combination of superstructure inertial force and crust load that produced the peak displacement and ductility demands for the structure in other analyses was, however, found to vary with the soil conditions, structural characteristics, and input ground motion. For example, Khosravifar and Boulanger (2010) present a case where the peak superstructure displacement occurred when the superstructure inertial force was equal to 58% of the maximum value that developed over the full duration of shaking and the crust load was equal to 60% of its maximum value. For this reason, the load combinations observed for the example shown herein cannot be generalized to other situations and a case specific analysis is required to accurately examine the relative contributions of kinematic and inertial demands.
Important features of the dynamic response of the soil profile are also illustrated in Figures 9-11 . The pore-water-pressure ratio (r u ) in the middle of the loose sand layer shows transient dips throughout shaking due to incremental dilation of sand under cyclic shear stress (Figure 9 ). These transient dips in pore pressure are accompanied by transient stiffening of the sand, such that significant motions can be transmitted up through the soil profile even after liquefaction (transient r u values of 100%) has been triggered. The ability of Figure 11 . Pseudo-acceleration response spectra (5% damping) for the input motion, ground surface motion, and superstructure motion from the Case A and Case B analyses of the representative example.
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the constitutive model to simulate this "cyclic mobility" behavior (e.g., as illustrated for an element in Figure 3 ) is a key feature for realistic modeling of site response in liquefiable soils (e.g., Ziotopoulou et al. 2012 ).
The p-y springs in the liquefied layer are directly affected by these transient pore pressure changes in the soil profile. For example, at points A, B, and C, the r u values are high, and the p-y springs in the loose sand are exerting correspondingly small net down-slope loads (Points A and C) and small net up-slope loads (Point B) against the pile shaft (Figure 10 ). The incremental down-slope movement of the pile shaft at Point B was sufficient to cause the loose sand layer to exert a net upslope force on the lower part of the shaft, although the upper part of the layer was still exerting a net down-slope force. For practical purposes, however, the total net force from the liquefying sand layer was negligible compared to the crust load.
ARS for the input, ground surface, and superstructure motions are shown in Figure 11 , along with the ARS for the nonliquefied case for comparison. The occurrence of liquefaction slightly increased the peak ground acceleration (which approximately equals the spectral acceleration for a period of 0.01 s), reduced the spectral accelerations at periods between about 0.02 s and 1 s and increased the spectral accelerations at periods greater than 1 s. The superstructure's equivalent period (i.e., period of strongest amplifications) increased from about 2.8 s in the absence of liquefaction to about 3.4 s with the occurrence of liquefaction.
SOIL PROFILE RESPONSES
The average effects of liquefaction on the soil site responses are illustrated by the ARS in Figure 12 . The ARS in Figures 12a and 12b correspond to ground surface motions computed for the nonliquefaction (Case B) and liquefaction (Case A) cases with all the 49 input motions shown in Figure 7a and 7b. The overall pattern is consistent with the example presented previously (Figure 10 ), in that the spectral accelerations tended to be reduced on average for periods less than about 1 s and increased for periods greater than about 1 s. Individual analysis results did, however, exhibit considerable variability, particularly in terms of whether the peak ground surface acceleration increased or decreased as a consequence of liquefaction.
The ranges of ground surface displacements (relative to the base of the soil column) for the liquefaction (Case A) and nonliquefaction (Case B) analyses are shown in Figure 13 . Ground surface displacements were substantially greater with liquefaction than without liquefaction, as expected. Note that the triggering of liquefaction (e.g., about 3% singleamplitude shear strain) throughout a 3 m thick liquefying layer produces about 0.09 m ground surface displacement, and this amount of displacement can mobilize around 70% of the maximum crust load. The liquefaction cases with ground surface displacements less than about 0.1 m were generally cases with a level ground surface, higher ðN 1 Þ 60 values, and lower shaking levels. In addition, a few of the Case A analyses did not develop liquefaction due to a combination of the above factors, and these points are omitted from Figure 13 .
PLASTIC HINGING AND DUCTILITY DEMANDS
The distributions of curvature ductility and plastic hinge depth are illustrated in Figures 14a and 14b , respectively. For the nonliquefaction (Case B) analyses, the structure remained elastic for about 80% of the cases and yielded (curvature ductility, μ > 1) for the other 20% of the cases. For structures with the deck free to rotate, the plastic hinge (or the location of maximum moment) for these nonliquefaction cases formed between 1 to 5 pile diameters below ground surface (Figure 14b) , with the larger depths corresponding to the smaller crust strengths. For the liquefaction (Case A) analyses, the structures still remained elastic for 70% of the cases and experienced yielding in the remaining 30% of the cases. The upper range of curvature ductility values was, however, much greater for the liquefaction cases, with a considerable number experiencing a curvature ductility greater than 10 (Figure 14a) . Furthermore, liquefaction caused yielding of the pile shaft at smaller peak ground surface accelerations than for nonliquefied conditions. For structures with the deck free to rotate, the plastic hinge for the liquefaction cases formed at greater depths, being closer to the interface between the liquefiable sand and the dense nonliquefiable sand layers (Figure 14b ). For structures with the pile-deck connection fixed against rotation, the first plastic hinge always formed at the deck level for both the liquefaction and nonliquefaction cases.
TIMING OF LIQUEFACTION AND PEAK SUPERSTRUCTURE INERTIA
The time of the maximum superstructure inertia (or acceleration) is compared to the time at which liquefaction was triggered in Figure 15 . The maximum inertia occurred after the liquefaction was triggered in the majority of cases (i.e., points above the 1∶1 line in Figure 15 ). For example, liquefaction occurred at about 7 s in the representative response shown previously in Figure 9 , and the peak superstructure inertia occurred later at about 23 s. The relative timing of the maximum inertia and liquefaction triggering appears to be most dependent on the loose sand layer properties and the ground motion characteristics, although variability in the response made it difficult to define any clear trends.
COMPARISON OF DEMANDS FROM INERTIA AND LATERAL SPREADING
The maximum superstructure (deck) displacements for the three different analysis cases shown on Figure 8 (Cases A, B, and C) are summarized and compared in Figures 16a to 16d for all cases analyzed in the parametric study. The horizontal axis in each figure shows the maximum deck displacement for the baseline analysis (Case A) which directly accounts for both superstructure inertia and lateral spreading loads. The vertical axes on Figures 16a and  16b show the maximum deck displacement for the nonliquefaction case (Case B) and lateral spreading alone case (Case C), respectively. Note that the magnitude of the superstructure inertia that occurs in analysis Case A is not the same as those in Case B because triggering of liquefaction affects the dynamic response of the system. The vertical axis on Figure 16c shows the maximum of the deck displacement demands from Cases B and C, whereas the vertical axis on Figure 16d shows the sum of the deck displacement demands from Cases B and C.
The analysis cases shown in Figure 16 are binned according to the M LSF ∕M p ratio, where M LSF is the potential maximum pile shaft bending moment along the pile due to lateral spreading alone and M p is the pile shaft plastic moment capacity. The M LSF for each analysis is determined as the maximum bending moment that would occur along the pile if the lateral load from the crust layer was at its maximum possible value; the M LSF is thus an index for how significant the lateral spreading load could be on its own. Maximum deck displacements in the Case A and C analyses therefore increase with increasing M LSF ∕M p ratio because the dynamic crust loads also generally increase with increasing M LSF ∕M p ratio. For analyses with M LSF ∕M p > 1 (e.g., strong and/or thick crusts), the lateral spreading loads are large enough to yield the pile shaft and thus the shafts displacements tend to be similar to the crust displacements. Interestingly, for M LSF ∕M p > 1, the Case C analyses (lateral spreading alone) tended to produce greater deck displacements than the Case A analyses ( Figure 16b) ; It appeared that more complex cyclic loading developed in the crusts in Case A analyses because of the interaction with the superstructure response, and that this additional cyclic loading component is believed to have allowed the crust to ratchet down-slope around the pile shaft a little easier in the analyses.
The results in Figures 16a and 16b indicate that the maximum deck displacements for the complete system (Case A) cannot be conservatively estimated by analyzing either the nonliquefaction (Case B) or lateral spreading only (Case C) cases. The results for either Case B or Case C analyses tend, on average, to be significantly smaller than obtained in the baseline Case A analyses; that is, the majority of the points fall below the 1∶1 lines in Figure 16a and 16b.
The results in Figure 16c indicate that the maximum deck displacements for the complete system are better estimated, although still unconservatively, by taking the maximum value from the nonliquefaction (Case B) and lateral spreading only (Case C) cases. The majority of the points estimated by this approach fall between the 1∶1 and 2∶1 lines on Figure 16c .
The results in Figure 16d indicate that the maximum deck displacements for the complete system could be instead be conservatively estimated by summing the maximum deck displacements obtained from the nonliquefaction (Case B) and lateral spreading only (Case C) cases. For this approach, the average trend is above the 1∶1 line, indicating a slight degree of conservatism on average.
Excessively large deck displacements or even collapse (plotted at a deck displacement of 6 m in Figure 16 ) occurred in a significant number of analyses of the baseline case. Many of these collapse cases did not develop excessive deck displacements in the nonliquefaction (Case B) and lateral spreading only (Case C) cases, which indicates that the combined interaction of lateral spreading and inertia loads was particularly important to the collapse mechanism. An examination of these cases identified two primary factors that were associated with these cases of poor performance: (1) M LSF ∕M p ratios greater than 0.75, and/ or (2) high intensity and long duration ground motions with cumulative absolute velocities (Kramer and Mitchell 2006; CAV 5 ) >3 g · s. Of the 35 collapsed cases, 100% fall into one of the above two categories and 30% fall into both.
At large M LSF ∕M p ratios, it takes relatively smaller superstructure inertia loads to yield the pile shaft at various times during strong shaking. While many structures with M LSF ∕M p ratios greater than 0.75 did not develop excessive deck displacements, it becomes increasing difficult to predict the motions or characteristics that cause collapse when M LSF ∕M p is so large. For this reason, it would be prudent to limit M LSF ∕M p ratios to less than 0.75 in design.
The parameter CAV 5 was found to be a reasonable descriptor of the ground motions that produced collapses, likely because it is a measure that incorporates both the shaking intensity and duration characteristics. Measures of shaking intensity alone (e.g., a max or ARS values at some measure of structural period) were found to be relatively poor identifiers of ground motions leading to collapse. Shaking duration was an important factor contributing to collapse because it caused a progressive ratcheting of deck displacements with every cycle of lateral loading (from the crust or superstructure inertia). CAV 5 was calculated as (Kramer and Mitchell 2006) :
E Q -T A R G E T ; t e m p : i n t r a l i n k -; e 2 ; 6 2 ; 6 4 0
where hxi ¼ 0 for jaðtÞj < 5 cm∕s 2 1 for jaðtÞj ≥ 5 cm∕s 2 (2)
where aðtÞ was taken as the acceleration computed at the ground surface in the absence of liquefaction (e.g., analogous to the design ground motion that would be available before a site specific assessment of liquefaction effects is performed). Arias intensity was a slightly less effective index for identifying the collapse cases, with the collapse cases tending to have Arias intensities greater than about 0.5 g · s.
The preceding discussion focused on maximum deck displacements, but similar observations and conclusions were drawn from examination of the results for local curvature ductility demands between the three different loading cases. Note that these analyses included pile shafts that develop a range of local ductility (Figure 14a ), indicating that the above conclusions are valid for the range of inelastic responses expected in design.
The preceding discussions also emphasized the M LSF ∕M p and CAV 5 parameters in describing trends in the analysis results shown in Figure 16 , but the analyses results were in fact examined for any significant trends with respect to a number of other major parameters describing the soil (e.g., ðN 1 Þ 60 value), structure (e.g., shaft diameter, axial load ratio), and ground motion characteristics (e.g., Arias intensity, SaðTÞ value). The relative timing and contributions of the lateral spreading and inertial loads for any given scenario could be significantly affected by changes in any one of these parameters, but none of these parameters were found to have a significant correlation with the average trends shown in Figure 16 , for the range of conditions examined in this study.
The various findings and observations drawn from the NDA results presented herein are believed to provide a reasonable basis for developing design guidance, while recognizing that (1) there are significant limitations in the 2-D numerical analysis models and (2) the range of conditions covered by this parametric study was not exhaustive. Despite their limitations, the numerical modeling procedures used herein have been shown to provide a reasonable approximation of the principle features of behavior observed in physical models and case histories. As such, the more general observations regarding the relative effects and timing of the lateral spreading and inertial loads from the full parametric study are believed to provide reasonable guidance for what may be expected in the field and an improved basis for developing design guidance on how such loads should be accounted for.
CONCLUSIONS
The inelastic response of extended pile shafts subjected to liquefaction-induced lateral spreading was investigated using nonlinear dynamic finite element analyses covering a range of soil, pile and ground motion conditions. Each soil-structure scenario was analyzed for three cases: a baseline case for the complete system (i.e., with soil liquefaction and superstructure inertia), a nonliquefaction case (i.e., no excess pore pressure generation), and a lateral spreading only case (i.e., superstructure mass removed).
The analysis results show that the combined effects of lateral spreading and superstructure inertia generally produce larger structural demands than are produced by either the nonliquefaction or lateral spreading only cases. This conclusion is contrary to the concept behind some design guidelines that assume nonliquefaction case produces greater demands based on assumptions that inertial force and lateral spreading force do not occur simultaneously and that the inertial demands induced in nonliquefaction case is always greater than that in liquefied case. Furthermore, the global deck displacements and local ductility demands on the pile shaft generally cannot be enveloped by taking the maximum values from the uncoupled analyses of the nonliquefaction and lateral spreading only cases. Summing the demands from the nonliquefaction and lateral spreading cases was, however, found to be usually conservative.
The potential for excessive deck displacements or even collapse was found to be associated with either: (1) M LSF ∕M p ratios greater than 0.75, and/or (2) high-intensity and long duration ground motions with CAV 5 values >3 g · s. It follows that M LSF ∕M p ratios should be limited to less than 0.75 in design and that more detailed analyses are warranted when the design ground motions correspond to such large values of CAV 5 .
The results of these parametric analyses provided insight on how lateral spreading and superstructure inertia loads affect performance of extended pile shaft foundations. The analysis results represent a database which has also been used in the subsequent development of an equivalent static analysis (ESA) design procedure (Khosravifar 2012) .
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